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Introduction
A salient issue in the modeling of machining is to reach a better perception of the relationship between local parameters (stress, strains, temperature, velocity fields, local friction characteristics) and global variables (overall friction characteristics, shear angle, chip morphology, forces, and contact length). Clarifying this connection is especially important for the validation of the physical concepts introduced into the modeling and for improving analytical models of machining.
The aim of this work is to investigate the relationship between local and global cutting parameters by developing a fruitful interplay between theoretical tools offered by numerical methods on the one hand and analytical formulations on the other hand. The relationship between local variables and global friction characteristics is analyzed in a first step. Then, the tool-chip contact length and the contact forces exerted on the tool are characterized.
The use of Finite Element methods for the analysis of orthogonal cutting has been initiated three decades ago [1, 2] . Presently, most of simulations are relying either on Lagrangian formulations with automatic remeshing to avoid using a separation criterion [3, 4] , or on the Arbitrary Lagrangian Eulerian (ALE) technique [5, 6] . Conversely, since the pioneered work of Merchant [7] dealing with perfectly plastic materials, a thermo-mechanical framework has been developed for the analytical modeling of cutting [8] [9] [10] [11] . A foremost aspect of the present work is to establish a dialog between numerical modeling of machining that provides an efficient tool for analyzing local and global variables and analytical formulation that offers a clear synthetic perception of the phenomena studied.
The work material is taken to be a medium carbon steel 42CrMo4. The thermo-viscoplastic response of the material is modeled with a Johnson-Cook law. Material parameters are fixed, but interface properties are varied since the analysis of frictional effects is of particular concern.
In machining, the contact problem is generally modeled with phenomenological laws that include sticking and sliding contact regimes [12] [13] [14] [15] [16] [17] [18] . Important features of dry contact can be captured by using the Coulomb friction law. Sometimes, a modified Coulomb friction law has been adopted, which accounts for the saturation at a given value of the shear stress on the tool face. In the present paper, the original formulation of the Coulomb law is used. The shear stress at the rake face is naturally limited by the shear flow stress of the work material when sticking contact occurs. The effects of the sliding friction coefficient and of cutting conditions (cutting speed, uncut chip thickness, tool edge radius) on local and global variables are analyzed and we examine how these variables are related together. Of particular interest are the analytical relationships derived for global friction characteristics and for the tool-chip contact length in terms of cutting conditions and local field variables. These relationships provide conceptual models that allow us to clarify the physical mechanisms governing the cutting problem. They also offer a way to extract useful information from numerical experiments for the purpose of improving analytical models of machining.
The paper is organized as follows. The theoretical framework of the cutting model is presented in Section 2. In Section 3 numerical results obtained by the ALE Finite Element method are correlated to experimental data. A parametric analysis is also performed by varying the values of the sliding friction coefficient, the cutting speed, the uncut chip thickness, the tool edge radius, the coefficient of conversion of the plastic work into heat and the thermal resistance of the tool-chip interface. Two global characteristics of the tool-chip friction are introduced in Section 4. A mean friction coefficient m is defined which characterizes the overall frictional response of the tool rake face (tool edge and clearance contact excluded). Conversely, the apparent friction coefficient m ap accounts for the totality of the tool-chip contact and is obtained from the cutting and thrust forces. The dependence of the mean friction coefficient m with respect to the sliding friction coefficient m and cutting conditions is analyzed in Section 5. Effects of thermo-mechanical coupling and of thermal softening are quantified. The transition towards a contact regime dominated by sticking is examined and the evolution of m is described by analytical means and correlated to numerical results. The dependence of the apparent friction coefficient m ap with respect to m and cutting conditions is investigated in Section 6. In particular, the role of the tool edge radius is analyzed and the evolutions of m ap and m are compared when cutting conditions are varied. Effects of the cutting speed and of the uncut chip thickness are correlated to experimental data. In Section 7 it is shown that the dependence of m with respect to the cutting speed and the uncut chip thickness can be essentially expressed in terms of a temperature characterizing the heating of the chip along the tool rake face. A similar result is obtained for the apparent friction coefficient m ap . Analytical forms are proposed for the evolution of m and m ap . The contact length and contact forces are investigated, respectively, in Sections 8 and 9. Conclusions are drawn in Section 10.
Physical assumption and numerical framework
The physical assumptions and the numerical framework adopted for the modeling of orthogonal cutting are presented in this section.
Thermo-mechanical response of the work material
The work material is a medium carbon steel 42CrMo4 (AFNOR: 42CD4) with chemical composition given in Sutter and Molinari [19] . The thermo-mechanical response is represented by the temperature of the work-material at the entry of the flat part of the rake face T int mean temperature along the tool rake face T max maximum temperature of the chip along the rake face T thrust force F n (rake) and F t (rake) normal and tangential forces exerted by the chip on the flat part of the rake face 
Here s eq and _ e eq are, respectively, the Mises equivalent stress and strain rate, T is the absolute temperature, T r is a reference temperature (room temperature), T m is the melting temperature, _ e 0 is a reference strain rate. The plastic flow is assumed to be governed by the J 2 -flow theory.
The parameters associated to the 42CrMo4 steel were identified experimentally (quasi-static tests were conducted on a universal hydraulic machine and dynamic tests on split Hopkinson bars) by Molinari et al. [20] and are reported in Table 1 . Other mechanical and thermal properties of the work material and of the tool are given in Table 2 . The tool is supposed to behave elastically.
The evolution of the temperature in the work material is governed by the energy equation:
T is the material derivative of the temperature, DT is the Laplacian of T. r, C p and k are, respectively, the mass density, the heat capacity per unit mass (at constant pressure) and the heat conductivity of the work material. The right hand side of Eq. (2) represents the proportion b of the plastic work converted into heat. d p ij and s ij are, respectively, the components of the plastic strain rate tensor and of the Cauchy stress tensor. The Taylor-Quinney coefficient b is taken as constant. The value b¼0.9 will be adopted as reference value but variations of b will be also considered. The thermal properties C p and k are considered to be independent of the temperature.
Frictional heating occurs at the tool-chip interface along the sliding zone. The rate of frictional energy per unit surface is equal to tV S , where t is the shear stress and V S is the sliding velocity. The frictional energy is assumed to be totally converted into heat. The part of frictional heat transferred to the chip is denoted by Z (0rZ r1). In the present paper, it is assumed that frictional heat is shared equally between the two bodies in contact (Z¼0.5). The thermal conductance of the tool-chip interface has the value k ¼ 2000Wm À2 K À1 . The rate of heat energy transferred to the chip is governed by the values of k and Z and by the thermal properties of the two bodies in contact.
The free surface of the workpiece and of the chip and the external boundary of the tool are assumed to be adiabatically insulated. The dimension of the tool is taken large enough, so that the heating at the tool-chip interface is not affected by the thermal conditions at the external boundary of the tool.
Friction law
The Coulomb friction law is used. Under sliding conditions the shear stress t is related to the normal stress s by t ¼ ms ð3Þ where m is the sliding friction coefficient. m is considered to be constant along the interface and to be independent from cutting conditions. Sticking contact is activated when toms. In machining, this situation occurs at the vicinity of the tool tip where high values of the normal stress s are reached. In all simulations, it has been verified that under sticking condition the shear stress on the toolchip interface is identical, as a consequence of the J 2 -flow theory, to the local value of the shear flow stress t Y of the work material. Thus, the contact law at the tool-chip interface can be summarized as
where t Y is function of temperature, strain and strain rate.
The contact model (4) was introduced by Zorev [15] and was implemented in Finite Element simulations of orthogonal cutting, see for example Masurich and Ortiz [4] . Arrazola and Ö zel [18] have recently explored the effect of a limit shear stress t limit different from t Y in the contact law. It is worth emphasizing that in the present modeling there was no necessity to introduce any limiting stress in the contact law. The limitation by the flow stress t Y along the sticking zone appears just as an outcome of the calculations.
Numerical model
Finite Element simulations are performed by using the code ABAQUS/Explicit [21] and the ALE formulation. Specifications related to the ALE formulation at the boundaries of the workpiece and of the chip are shown in Fig. 1a . Geometrical parameters are defined in Fig. 1b . Cutting conditions are reported in Table 3 .
Only stationary flow and continuous chip formation are simulated in the present framework. Plane-strain deformations are assumed. An example of mesh configuration is displayed in Fig. 1a . CPE4RT quadrilateral elements with reduced integration were used. The contact problem was simulated by using the penalty (and surface/surface) algorithm provided by the FE code. It was checked that consistent results were obtained with this approach (i.e. the contact law (4) was never violated). The mesh size was about 4 mm.
Numerical results with constant values of the sliding friction coefficient
All results presented in this paper are related to quasi-steadystate regimes obtained when the interface temperature and the values of cutting forces are nearly time independent.
Cutting and thrust forces: correlation with experimental data
Before commencing a detailed analysis of the orthogonal cutting process, it is worth evaluating the model's capabilities by comparing numerical simulations of the cutting and thrust forces (per unit cutting width), respectively, F C and F T , with experimental measurements, see Fig. 2a and b. The rake angle is a¼0. Orthogonal cutting tests were performed under dry conditions on a CNC lathe by Devillez et al. [22] for the 42CrMo4 steel whose mechanical characteristics are given in Section 2.1. An uncoated carbide insert without chip-breaker groove was used. It must be noted that the identical material (same delivery) was used on the one hand for machining experiments [22] and on the other hand for characterizing the constitutive response by mechanical testing [20] . This Table 2 Mechanical and thermal parameters of the work-material (42CrMo4 steel) and of the carbide tool. steel is taken as the reference work material in all simulations of the present paper.
The apparent friction coefficient m ap ¼ F T =F C (general definition given by Eq. (5)) is shown in terms of the cutting speed in Fig. 2c . The results shown in Fig. 2 indicate a good correlation between modeling and experimental data for the value m¼0.8 of the sliding friction coefficient. In the simulations, two values of the cutting edge radius were used, R¼15 and 30 mm. The results for the cutting force are weakly affected by R. The effect of R on the thrust force is larger.
Parametric analysis
A parametric analysis is conducted by considering various values of m from 0 to 1 and cutting speeds in the range 1ms À1 r V r 50 ms À1 . Other parameters are varied as indicated in Table 3 . The values of the rake and clearance angles are fixed (a ¼0, g¼71).
Results of numerical simulations are reported in Table 4 for the uncut chip thickness t 1 ¼ 0:1 mm, the cutting edge radius R¼0.015 mm and the thermal conductance of the tool-chip interface k ¼ 2000 Wm À2 K À1 . Results include the chip thickness t 2 , the contact length l c (see Fig. 1b ), the sticking ratio l p /l c (l p is the Values of the cutting parameters used in simulations; a rake angle, g clearance angle, t 1 uncut chip thickness, R cutting edge radius, V cutting velocity, k thermal conductance of the tool-chip interface, Z heat partition coefficient.
r t 1 r 0:5mm 0.015 and 0.030 mm 1ms À1 r V r 50 ms À1
2000Wm À2 K À1 0.5 sticking length on the rake face, see Fig. 1b ), the average value t PZ of the shear flow stress along the central line of the primary shear zone (see Appendix A), the average shear stress t SZ along the rakeface sticking zone 0 r x r l p , the cutting and thrust forces per unit cutting width F C and F T and the apparent friction coefficient m ap . In Table 4 are also reported the components F n (rake) and F t (rake) of the force exerted by the chip on the part IJ (0 rx r l c ) of the tool, see Fig. 1b . The lower indices (n) and (t) refer, respectively, to the normal and tangential components to the tool. The mean friction coefficient associated to the contact zone IJ is defined by Eq. (7) . The mean shear flow stress along the sticking zone, t SZ ¼ ð1=l p Þ R lp 0 tðxÞdx, is calculated by taking the nodal values of t on a path following the tool-chip interface. The temperature T 1 is the nodal temperature of the workmaterial at I (x¼0). T max is the maximum nodal temperature of the work-material along the tool-chip interface.
The shear angle f ¼ arctanðt 1 =t 2 Þ and other angles f A and f n (defined in Fig. 1b ) are also reported. The point I 1 in Fig. 1b used to characterize f A and f n is defined in Appendix C. The chip thickness t 2 is evaluated at the point K taken on the chip free surface where the tangent is parallel to the tool rake-face, see Fig. 1b ; t 2 is the distance KK 0 with the tool rake face, where K 0 is the orthogonal projection of K on the rake face.
The effect of the tool edge radius is evaluated in Table 5 for R¼0.03 mm while the value R¼ 0.015 mm was considered in Table 4 . Other parameters are: t 1 ¼ 0:1mm, k ¼ 2000 Wm À2 K À1 and m¼0.8. The effect of the uncut chip thickness t 1 is analyzed in Table 6 for R ¼0.015 mm, k ¼ 2000 Wm À2 K À1 and m¼0.6. Finally, the effect of the Taylor-Quinney coefficient b has been quantified for t 1 ¼0.1 mm, R ¼0.015 mm, m¼0.6 and k ¼ 2000 Wm À2 K À1 . The corresponding results are reported later.
Global friction characteristics
The contact between tool and chip can be globally characterized in terms of an apparent friction coefficient m ap . Considering the total force R exerted by the workpiece onto the tool, m ap is defined as the ratio of the components of R tangential and normal to the tool rake face. With respect to the cutting and thrust forces, respectively, F C and F T , m ap can be expressed as
In this paper a¼0, therefore m ap is simply the ratio of the thrust and cutting forces. The apparent friction coefficient is an important aspect in the analytical modeling of cutting. Together with the shear flow stress along the primary shear zone (PSZ) and the shear angle (inclination of the PSZ) it allows one to determine the cutting and thrust forces by analytical means. Therefore it is worth exploring the effects of material properties, of interface characteristic and of cutting conditions on m ap and to seek whether this coefficient could be characterized in terms of a constitutive law. In general m ap is different from m as soon as sticking between chip and tool is activated. Indeed, effects of sliding friction and sticking contact are merged into m ap . The apparent friction coefficient is also influenced by the contact forces exerted on the rounded part of the tool edge. The same steel is taken as the reference work-material in all simulations of the present paper. The rake angle is a¼0. Two values of the cutting edge radius are considered in the simulations: R ¼15 mm (squares) and R¼ 30 mm (squares with crosses). The sliding friction coefficient is m¼0.8. The following results are shown: (a) cutting force in terms of cutting speed, (b) thrust force in terms of cutting speed, and (c) apparent friction coefficient m ap (thrust force divided by the cutting force). Table 4 Numerical results for the uncut chip thickness t 1 ¼0.1 mm, the tool edge radius R¼ 15 mm and various values of the cutting velocity V and of the sliding friction coefficient. m. Thus, in general m ap is function of m, the material properties of the work-material (essentially through the mean value t SZ of the shear flow stress along the sticking zone), the tool edge radius R and the cutting conditions (cutting speed, rake angle, feed).
Note that the cutting conditions are also indirectly appearing through t SZ . It is also useful to introduce the mean friction coefficient m along the tool rake face. This parameter does not include explicitly the contribution of the contact forces exerted on the rounded tool edge.
Rather m characterizes the contact along the flat part of the tool rake-face (region IJ in Fig. 1b ) and is defined as
F t (rake) and F n (rake) are, respectively, the tangential and the normal components of the force (per unit cutting width) exerted by the chip onto IJ:
where t Y is the shear flow stress. The values of F n (rake) and F t (rake) are reported in Tables 4-6. In the following, m is denoted as the mean friction coefficient.
The distinction between the friction characteristic m of the flat rake face and the global friction m ap was discussed by Albrecht [23] . Combining (7) and (8) 
Since t Y rms along the sticking zone, D is positive and mrm
The equality
is only satisfied when there is no sticking, i.e. l p ¼0.
In general m ap 4 m, except when the tool is perfectly sharp. All friction coefficients defined above are identical, m ap ¼ m ¼ m, if the following conditions are met: (i) there is no sticking, (ii) the tool is perfectly sharp, and (iii) there is no clearance contact.
A constitutive law similar to that for m ap , Eq. (6), is expected to hold for m, however with a weaker dependence with respect to the tool edge radius.
Factors governing the evolution of the mean friction coefficient

Role of sticking contact and of thermal softening
The dependence of the mean friction coefficient m upon the sliding friction coefficient m and the cutting speed V is illustrated in Fig. 3 . Cutting conditions are those of Table 4 . For m¼0 and 0.2 there is no sticking along the rake face and m ¼ m. For mZ0.4, m appears to be a decreasing function of V. The weakening of m with velocity Table 5 The tool edge radius is R ¼0.03 mm, while we have R ¼0.015 mm in other tables. Table 6 Variation of the uncut chip thickness t 1 . (velocity softening) appears only when sticking contact is activated along the rake face. This is clearly demonstrated by comparing Fig. 3 with Fig. 4 that shows the evolution of the sticking ratio l p /l c in terms of the cutting speed for various values of m. A transition towards a contact regime dominated by sticking is observed with the sticking length l p being about 60% of the contact length. The occurrence of sticking is a consequence of the drop of the flow stress of the work material due to heating along the tool-chip interface. The increasing of the interface temperature results from two sources: (i) frictional heating along the sliding zone and (ii) conversion of the plastic work into heat along the sticking zone (within the so called secondary shear zone). The correlation between the softening of t SZ and the interface heating can be seen by comparing Fig. 5a with 5b where the evolution of the maximal
Cutting speed (ms -1 ) Mean friction on rake face 10 20 30 40 50 temperature T max of the work material at the tool-chip interface is displayed. These results are in agreement with the well known feature mentioned in the literature that the stress level at the rake face is controlled by friction heating at large enough cutting speed, see for instance [12] .
The correlation between velocity softening of m and thermal softening of the flow stress can be further illustrated by observing in the Fig. 3 that the decay of m arises in the same velocity range 0 r V r 10 ms À1 than the drop of the mean flow stress along the sticking zone t SZ depicted in Fig. 5a . It is worth noticing that for mZ0.4 the evolution of m reaches the same asymptotic regime at large cutting speeds, independently from the value ofm. This asymptotic regime is related to the transition to a sticking dominated contact. Then, m appears to be mostly controlled by the mean shear flow-stress t SZ along the sticking contact. Consequently, m becomes weakly dependent upon m. According to Fig. 4 , the transition to a sticking dominated contact is achieved for V Z8ms À1 when mZ0.4. These conditions are exactly those for which all values of m are merging in the Fig. 3 . Note that for m¼0.4, there is no sticking for V r 8ms À1 , therefore m ¼ m in this velocity range. The same situation occurs for m¼0.6 but only
For a given value mZ0.4 of the sliding friction coefficient, the existence of an asymptotic regime (with a low value of m that is independent of the cutting speed) is related to the emergence of a boundary layer regime along the sticking zone at the tool-chip interface. This is in keeping with the remark made by Childs [12] that ''at speeds greater than tens of m/min, for steels, local thermal softening of chip material due to friction heating results in a degree of self-lubrication''.
Boundary layer regime has been analyzed in the general context of thermo-viscoplastic materials by Gioia and Ortiz [24] and will be the object of a subsequent work in the case of machining.
Effect of the conversion of plastic work into heat
As discussed before, the weakening of m with velocity is due to the conversion of the plastic work into heat and the resulting thermal softening of the work-material (decay of t SZ ).
The rate of conversion of plastic work into heat is controlled by the Taylor-Quinney coefficient b, see Eq. (2) . The effect of the thermo-mechanical coupling parameter b is analyzed by performing a parametric analysis for t 1 ¼ 0:1 mm, R¼0.015 mm, k ¼ 2000 Wm À2 K À1 and m¼0.6. Fig. 6 shows the variation of m in terms of the cutting speed V for various values of b. As expected, for a given value of the cutting speed, m is a decreasing function of b as a consequence of the larger amount of plastic work converted into heat. For a given b, it appears that m is tending to m when V decreases to zero. In fact, at low cutting speed, the interface temperature is cooled down by heat transfer effects. Thus, thermal softening of the shear flow stress is reduced and sticking contact is less likely to occur. Consequently, for m¼0.6, sliding is the dominant mode of contact and m % m. Similarly, for a given value of V sliding contact is favoured when b is decreased. This is why m % m in Fig. 6 for V r 10 ms À1 and b¼0.5. At the limiting case b¼0 (not shown in Fig. 6 ) there would be no conversion of plastic work into heat and the thermal softening of the mean flow stress t SZ along the sticking contact could only be the result of the heat generated by friction. However, frictional heat originates from the sliding contact zone and is convected away by the chip flow. Hence, frictional heating is not expected to affect the temperature in the secondary shear zone. That is why m could not weaken with the cutting speed for b¼0.
In Fig. 3 it is observed that, for mZ0.4, the mean friction coefficient m becomes independent of the value of m at large cutting speeds. On the contrary, a strong dependence of m upon the coefficient b is apparent in Fig. 6 at large enough values of V.
It is known that b can be rate dependent in certain conditions, as shown by the experiments of Rittel et al. [25] and Ravichandran et al. [26] . Therefore, an additional velocity dependence of m could be expected through rate effects embodied in b. These effects are not accounted for here, since it was assumed that b is independent of cutting conditions. In fact, the experiments reported in [25, 26] indicate that the maximum value of b (close to unity) is observed at strain rates larger than 10 4 s À1 . This range of strain rates is encountered in the primary and secondary shear zones during simulations. Thus, having considered in the modeling the fixed value b¼0.9 appears to be a reasonable assumption. This assumption might be revised at cutting speeds lower than V¼1 ms À 1 .
Evolution law for the mean friction coefficient
In-depth analysis of the factors contributing to the decay of m with V can be conducted by analytical means for large enough values of m when sticking contact is significant. The tangential and normal forces (resp. F t (rake) and F n (rake)) exerted by the chip on the tool rake face can be evaluated by considering that the distribution of the normal stress along the tool rake face is of the form:
x¼0 corresponds to the limit I of the tool rake face, see Fig. 1b . The stress exponent x controls the stress decay when x increases. The stress vanishes at the end of the contact (x¼ l c ). In the following, a
value of x will be associated to a given stress profile.
The tangential force F t (rake) (per unit cutting width) can be evaluated with use of Eq. (8b) and Eq. (11):
The shear stress at the limit of the sliding zone (x ¼l p ) is obtained with the Coulomb friction law and Eq. (11):
The stress profiles obtained numerically show a smooth variation of the shear stress at x¼ l p (while the normal stress can vary more abruptly). Thus, the shear stress at x¼l p is close to the mean value t SZ (over the sticking zone) and it can be stated that t Ã ¼ ot SZ , where o is a scaling factor close to unity (0oo o1). From this condition it follows that:
When ot SZ Z ms 0 , there is no sticking and consequently l p =l c ¼ 0. Altogether, it can be written that:
Using (13) together with (12) gives:
Finally, the mean friction can be evaluated as
The normal force is
After substitution into (15) it follows that:
Another useful expression for m is obtained by combining Eq. (16) and Eq. (13) with Eq. (15):
From (15) m appears essentially as the ratio of two terms: (i) the mean shear stress t SZ over the sticking zone (weighted by the factor ð1=ðx þ 1ÞÞðo þðl p =l c Þðx þ 1ÀoÞÞ ) and (ii) the average normal stress over the contact length F n ðrakeÞ=l c . Fig. 7a shows for m¼0.8 the evolution of m with respect to V as predicted by Eq. (15) where the values of t SZ , F n ðrakeÞ=l c and l p /l c are taken from Table 4 . The stress exponent is taken to be x¼0. 23 Table 4 . The value o¼0.9 is adopted in the following, keeping in mind that the results are similar for any value of o close to unity (which is the case when sticking is dominant).
In Fig. 7b Finite Element results are compared to the estimates of m obtained with Eqs. (15) and (18) Interest of using Eqs. (15) and (18) to assess the evolution of m with velocity stems from the possibility of evaluating the contributions of the different physical factors involved in the velocity weakening of m. In Fig. 7c is represented for x¼0.23 and o¼0.9 the evolution of m with V according to Eq. (15), together with the evolution of parameters these parameters in terms of V are obtained from data reported in Table 4 . It should be noted that the quantities displayed in Fig. 7c are normalized with respect to their value at the smallest speed considered (V¼1 ms À 1 ). Thus, in Fig. 7c are represented the variations of the normalized quantities A norm ¼ A=AðV ¼ 1 m=sÞ, m norm , B norm and C norm . Since m norm ¼ A norm B norm C norm , each factor represents truly the relative contribution of a given parameter A, B, or C to the variation of the mean friction coefficient. For instance, for V¼15 ms À 1 , we have m norm ¼ 0:522, A norm ¼ 0:644, B norm ¼ 0:704, C norm ¼ 1:151. Thus, the drop of m by factor 0.522, when V increases from 1 to 15 ms À 1 , is due to: (i) the thermal softening of the flow stress in the sticking zone ( factor 0.644), (ii) the decay of B (factor 0.704) or equivalently the magnification of the mean normal stress on the rake face ðF n ðrakeÞ=l c Þ (factor 1/0.704), and (iii) the growth of C (factor 1.151). Note that the increase of C is a consequence of the rising of the sticking ratio with V. The normal force F n (rake) and the contact length l c are both decreasing functions of V, however l c decays in a larger proportion, see Table 4 ; consequently, the mean normal stress ðF n ðrakeÞ=l c Þ is an increasing function of V. The main information is that flow stress softening (decreasing of t SZ ) and stress concentration (effect of ðF n ðrakeÞ=l c Þ) contribute jointly and in similar proportion to the weakening of m. The effect of the sticking ratio (embedded in C) has a lower impact and provides an opposite trend (increasing of m with V).
Finally, the effect of the stress exponent is analyzed in Fig. 7d where three values of x are considered (x¼0.23, flat stress profile; x¼0.4; and x¼1, linear profile). It appears that, for cutting speeds larger than 5 ms À 1 , the value of m is weakly affected by the stress exponent. The softening of m is well reproduced for all values of x considered here. m can be represented in terms of the analytical laws (15) (17) and (18) when sticking is significant, i.e. for large enough values of the sliding friction coefficient m. This was demonstrated in Fig. 7 for the case of m¼0.8. This is also illustrated for m¼1 in Fig. 8 where numerical estimates of m are compared to values obtained from Eq. Table 4 with m¼0.6, V ¼ 8ms À1 and b¼0.9. The main factors contributing to the evolution of m with V were shown to be A ¼ t SZ , B ¼ ð1=ðF n ðrakeÞ=l c ÞÞ. The variation of m will be analyzed when decreasing the value of the Taylor-Quinney coefficient from
The corresponding values of A and B and of m are reported in Table 7 . It appears that ðABÞ 2 =ðABÞ 1 ¼ 0:620= 0:512 ¼ 1:21 is close to m 2 =m 1 ¼ 0:559=0:446 ¼ 1:25. This result confirms that the factor C defined above has a negligible effect on the variation of m. In addition, it is apparent from the data of Table 7 that the variation of m with b is mainly due to the factor A ¼ t SZ . This situation is different from those of Fig. 7c where the evolution of m with V was analyzed for the fixed value b¼0.9. In that case both factors A ¼ t SZ and B ¼ ð1=ðF n ðrakeÞ=l c ÞÞ contributed in similar proportions to the variation of m.
Apparent friction coefficient
The dependence of m ap with respect to m and the cutting speed is illustrated in Fig. 9a . The cutting conditions are those of Table 4 . The curvature of the cutting edge provides an additional resistance to the global chip flow; thus, it follows that m ap 4m.
It appears that Fig. 9a and Fig. 3 show similar trends for the variation of m ap and of m with V (for a given value of m). Indeed, the evolution of m ap with cutting speed is governed by the same physical mechanisms as described in Section 5.1 for m.
The effects of the thermo-mechanical coupling factor b are illustrated in Fig. 9b for m¼0.6 and appear also to be similar to those observed in Fig. 6 for m.
Interesting features can be observed in Fig. 10 when comparing m ap to m for large and low friction, respectively, m¼0.8 and 0.2.
Cutting conditions are those of Table 4 . First, let us consider large values of the sliding friction coefficient (mZ0.4). At low cutting speed (V¼ 1 ms À 1 ), it is observed that m ap % m, see Fig. 10a and Table 4 . When increasing the cutting speed a gap appears between m ap and m which is growing with V. These features can be explained as follows. Stress concentration occurs at the tool tip along an arc of circle which is scaled by the tool edge radius R. This stress concentration affects the level of the force exerted by the workpiece on the tool and thereby contributes to the level of the apparent friction coefficient m ap . The ratio R/l c is a key factor for the understanding of the dependence of m ap upon m and V. It appears from Table 4 that the contact length l c (defined as l c ¼ IJ in Fig. 1b) is an increasing function of m and a decreasing function of the cutting speed. Therefore R/l c is a decreasing function of m. The resultant of the contact forces exerted by the workpiece on the tool is obtained by summation (integration) along the tool-workpiece interface. In this integration the vicinity of the tool edge (scaled by R) can be distinguished from the tool rake face (length l c ). Clearly, the relative contribution of the tool edge increases with R/l c . Thus, from geometrical reason, the relative contribution of the tool edge radius to m ap is going to be less important at large values of m since R/l c is a decreasing function of m. Consequently, for mZ0.4, m ap is given with good approximation by the ratio of the tangential and Effect of b on the mean friction coefficient m. Analysis of the factors contributing to the variation of m. Cutting conditions are those of Table 4 with m¼0.6 and normal contact forces acting on the tool rake face (tool tip excluded) and it follows that m ap % m, at least for low cutting speeds. Why m ap and m happen to have distinct values at large cutting speeds as shown by Fig. 10a ? As a matter of fact, for large values of m, the contact length l c decays rapidly with the cutting speed V, see Table 4 . Thus R/l c is larger at high velocities and the relative contribution of the tool edge radius is more significant. This implies that the gap between m ap and m is growing with V.
It is worth noting that for low values of the sliding friction coefficient m, the overall friction characteristics m ap and m are always significantly different, whatever is the value of the cutting speed, see Fig. 10b .
The effect of the tool edge radius R on m ap and m is depicted in Fig. 11a for m¼0.8 and t 1 ¼ 0:1 mm (other cutting conditions are those of Table 4 ). Two values of R are considered: 15 and 30 mm. As expected, m ap and m are increasing with R. It appears that m is less affected by the tool edge radius than m ap . This feature could be anticipated, as m solely accounts for the contact forces exerted of the flat rake face, which are weakly affected by R far enough from the tool tip. The gap m ap Àm increases with R as illustrated in Fig. 11a . For R¼0, the values of m ap and m should be close, the difference being solely due to the contact forces exerted at the clearance contact. This difference is getting smaller for large clearance angles.
The dependence of m ap Àm upon R/l c is further illustrated in Fig. 11b for m¼0.8 and R¼15 mm. It appears that the variations of m ap Àm and R/l c (versus cutting speed) are following the same trends. The variation of m ap Àm is reported in Fig. 11c in terms of R/l c for t 1 ¼ 0:1 mm, R¼15 mm and for various values of m. For a given m, the cutting speed is varied according to the data reported in Table 4 and the corresponding results are represented by the same symbol (e.g. empty squares for m¼0.1). The general trend revealed by Fig. 11c is that the gap m ap Àm is an increasing function of R/l c . As R is fixed at 15 mm, the augmentation of m ap Àm for a given value of m is solely due to the decreasing of the contact length with higher cutting speeds.
The gap m ap Àm is not only function of m and of the cutting speed (through the value of the contact length l c ), but is also depending on the uncut chip thickness t 1 . This dependence is analyzed in Fig. 11d where the values of m ap Àm are displayed in terms of R/t 1 (t 1 ¼ 0.05, 0.10, 0.25, 0.50 mm) for m¼0.6 and R ¼15 mm. For a fixed value of t 1 , the cutting speed is varied in the range indicated in Fig. 11d, and the corresponding values of m ap Àm are represented by the same symbol (e.g. a square for t 1 ¼0.10 mm). As expected, it appears that m ap Àm is increasing with R/t 1 . As discussed before, one should have m ap % m for R¼0. It is also observed that the effect of the cutting speed is more effective for large values of R/t 1 .
Overall, m ap Àm can be viewed as being dependent of the geometrical cutting conditions R and t 1 through the non-dimensional factors R/l c and R/t 1 or equivalently in terms of l c /t 1 and R/t 1 .
This dependence is illustrated in Fig. 11e where m ap Àm is reported in terms of l c /t 1 for m¼0.6 and 0.8 and various cutting speeds.
Different values of R and t 1 are considered but with same ratio
It is verified that for R/t 1 fixed, m ap Àm can be considered as a function of l c /t 1 . Table 4 . (c) Dependence of m ap Àm with respect to R/l c for a fixed feed and various values of the sliding friction coefficient m and of the cutting speed. To each value of m is associated a given symbol which is appearing ten times since ten values of the cutting speed are considered. Data and cutting conditions are those of Table 4 . As symbols appear to be gathered along a master curve, it can be concluded that for a given t 1 , m ap Àm is a function of R/l c . (d) Dependence of m ap Àm with respect to R/t 1 and cutting speed V. Of note is the augmentation of m ap Àm with increasing V for a fixed value of R/t 1 . This effect is a consequence of the decreasing of the contact length with larger V. (e) Dependence of m ap Àm with respect to l c /t 1 for two sets of cutting conditions with same value of R/t 1 . These results support the fact that m ap Àm can be viewed as a function of R/t 1 and l c /t 1 .
The theoretical prediction of the apparent friction coefficient m ap was compared against experimental measurements in Fig. 2c for the medium carbon steel 42Cr Mo4. The effect of the cutting edge radius is also analyzed in Fig. 2c . Fig. 12 represents the evolution of m ap with the cutting speed V obtained by Sutter and Molinari [19] in orthogonal cutting experiments for the same reference material (42Cr Mo4 steel). Tests in the range of cutting speeds going from 0.5 to 20 ms À 1 were made on an NC lathe. This lathe was equipped with a dynamometer KISTLER 9265B which permitted to measure the two components of the cutting force. A circular piece with a large diameter $ 125 mm was machined in order to obtain cutting conditions close to orthogonal machining. The range of high cutting speeds (from 10 to 90 ms À 1 ) was explored by using the ballistic set-up initially developed by Sutter et al. [27] and modified in order to permit the measurement of the thrust component of the cutting force together with the longitudinal component. The same carbide tools (type SCMT 12 04 08-UR 235) were used on the lathe and the ballistic set-up.
Experimental results are compared in Fig. 12 to numerical estimations of m ap and of m for m¼0.6 and R¼0.015 mm. The feeds in the numerical calculations are t 1 ¼0.25 and 0.5 mm. In the experiments, the values of the feed were t 1 ¼0.2 and 0.5 mm. The theoretical results are well correlated to the softening of m ap and m with V observed in the experiments. The additional softening due to the increasing of the feed is also well reproduced by the simulations. It should be mentioned that the overall friction coefficient measured by Sutter and Molinari [19] is not exactly m ap since edge forces (obtained by linear extrapolation of the cutting and thrust forces to zero feed) were subtracted by these authors from the cutting and thrust forces. The overall friction coefficient characterized by Sutter and Molinari [19] does not correspond exactly to m since the net results of this operation are not strictly identical to the forces F n (rake) and F t (rake) applied to the flat rake face of the tool.
Its value is rather in between m ap and m, and closer to m than to m ap .
However, from the numerical results reported in Fig. 12 , the difference between m ap and m is not important for the high value of the sliding friction coefficient m¼0.6 considered here.
It is worth reminding that the comparison with experiments was performed in Fig. 2 with m¼0.8 . Nevertheless, the values of m ap corresponding to m¼0.6 and 0.8 are shown in Fig. 9 to be nearly identical when the cutting speed is large enough (V 4 10 ms À1 ). The same observations can be made for m, see Fig. 3 .
Alterations of overall friction characteristics generated by increasing the cutting speed and the feed are a consequence of the augmentation of the interface temperature with V and t 1 . The correlation with the temperature is illustrated in Fig. 13 , which shows the evolution of the maximum chip temperature T max (at the tool rake face) in terms of the cutting speed for various values of the feed t 1 . It appears that T max is an increasing function of V and t 1 .
Temperature dependence of global friction characteristics
As discussed in Sections 5 and 6, the evolutions of the global friction characteristics m and m ap are mostly controlled by thermal softening of the work-material along the tool rake face. The local sliding friction coefficient m is assumed constant and therefore does not play any role in the variation of m and m ap . Thus, it seems natural to consider that the dependence of m and m ap upon cutting conditions, is ruled at first approximation by the magnitude of the chip temperature which governs material softening at the tool interface. This temperature level will be characterized here by T max , the maximum chip temperature introduced previously. Fig. 14a , describes the variation of m ap in terms of T max for various cutting speeds and feeds. The cutting conditions are those of Table 4 except for the feed which is varied. The sliding friction coefficient is m¼0.6. Remarkably, the results are displayed along a single master curve. A similar observation in made for m in Fig. 14b . These observations support the idea that, for a given work material and a given tool, the overall friction characteristics can be described by phenomenological laws of the form mðT max Þ and m ap ðT max Þ. The important result obtained here, is that the dependence of m and m ap Fig. 13 . Evolution of the maximum temperature T max of the chip at the rake face, versus cutting speed V and feed t 1 . For a fixed value of V, the temperature increases significantly with t 1 . The weakening of global friction characteristics observed for larger feeds in Fig.12 is a consequence of the increasing of temperature with t 1 and of the resulting thermal softening of the work-material.
with respect to cutting conditions is carried by the single parameter T max characterizing the heating of the chip along the tool rake face. Overall friction characteristics versus T max (maximum chip temperature at the rake face) for various feeds t 1 and cutting speeds: (a) apparent friction m ap and (b) mean friction m. The value of the sliding friction coefficient is m¼0.6. Each symbol is associated to a given feed (e.g. squares correspond to t 1 ¼ 0.10 mm). For t 1 ¼0.10 mm the cutting speeds are V ¼ 1,2,4,6,8,10,12,15,30,50 ms À1 (see Table 4 ). For This happens when the heating of the chip at the tool interface is large enough, i.e. at high cutting speeds. Then, m and m ap are nearly independent of m, as apparent in Figs. 3 and 9 for mZ0.4. The specific effect of the tool disappears in favor to the sole contribution of the thermo-mechanical properties of the work-material. In other words, working with a CBN tool or a carbide tool has no specific effects on the values of the overall frictions coefficients if the interface temperature is sufficiently high. It must be reminded that these results have been obtained under the assumption that the sliding friction coefficient m is not affected by the cutting conditions.
Results for the apparent friction coefficient m ap (dashed lines) are compared to those of m (solid lines) in Fig. 15b . Similarities between the variations of m ap and m appear clearly. As discussed previously, the gap m ap Àm results from the effect of the tool edge radius. For a fixed value of m, the gap m ap Àm increases with the cutting speed (i.e. with T max ), in agreement with Fig. 11a , and is a decreasing function of m, as in Fig. 11c .
From the above results, it is appealing to describe the dependence of m ap and m with respect to the cutting conditions in terms of phenomenological constitutive laws. It is proposed to characterize the functional relationship between the mean friction coefficient and T max as
For (19) is the exponent n 1 which governs the sharpness of the transition between sliding contact and the sticking dominated regime. The evolution of m with respect to T max is displayed in Fig. 16a . Three values of the sliding friction coefficient are considered: m¼0.4, 0.6 and 0.8. The Thus, the consequence of replacing a tool with low friction m¼0.4 by a tool with higher friction m¼0.8 can be analyzed in Fig. 16a . At high temperature (high cutting speeds, large feed), there is no effect of the tool since the contact is dominated by sticking and by thermal softening of the work material. However at lower temperatures, the effect of the tool is quite visible as the contact is governed by sliding (m ¼ m). Similar results are shown for m ap in Fig. 16b . The phenomenological law governing the temperature dependence of m ap is taken in the form:
The parameters corresponding to Fig. 16b are: S 2 ¼ 0:0005 ðK À1 Þ,
It can be noted that the same value of n 1 is used for laws (19) and (20) . For instance it might occur that the decay of mðT max Þ and of m ap ðT max Þ at large temperature is not exactly linear. In that case the term T 2 ÀT max in (19) and (20) could be replaced by a nonlinear function of T 2 ÀT max , for instance a power-law of the form ðT 2 ÀT max Þ q . The characterization of the overall friction properties of the tool by a temperature dependent friction law was introduced by Moufki et al. [28] in their thermo-mechanical modeling of the orthogonal cutting process. They used the mean temperature T int along the tool rake face to characterize the heating of the chip. In fact, taking T int in place of T max as the characteristic variable governing the evolution of the overall friction does not matter much as both variables are related. The results shown in this section provide a justification and an explanation for using temperature dependent friction laws in the modeling of machining. It should be noted, that the Oxley' model [8] provides a good description of the machining process when contact is mostly controlled by sticking but cannot describe the transition from sliding to sticking contact observed for instance for m¼0.4 in Figs. 15 and 16 .
Contact length
The contact length is an important parameter which affects the temperature distribution at the tool rake face, the chip curling, the stress level applied on the tool and finally the wear and the mechanical resistance of the tool [29] [30] .
The contact length is defined as the extension of the tool-chip contact on the rake face of the tool: l c ¼IJ, see Fig. 1b . The evolution of the contact length l c in terms of the cutting speed is illustrated in Fig. 17a for different values of the sliding friction coefficient m.
Cutting conditions and data are those of Table 4 . The uncut chip thickness is t 1 ¼0.1 mm (see Fig. 1b ), the cutting edge radius is R¼0.015 mm and the thermal conductance of the tool-chip interface is k ¼ 2000Wm À2 K À1 . The contact length l c appears in Fig. 17a to be a decreasing function of the cutting speed and an increasing function of m. These trends are in agreement with experimental observations; see for example Gad et al. [31] .
Experimental data obtained by Sutter and Ranc [32] for steels at high cutting speeds are well correlated with the numerical results displayed in Fig. 17a . For 42CrMo4 steel, the contact length was found to be l exp c ¼ 0:62 mm at the cutting speed V ¼ 16 ms À1 , the uncut chip-thickness t 1 ¼ 0:3 mm and the rake angle a¼01. As the 42CrMo4 steel is also the reference material in our numerical simulations it is of particular interest to compare experimental and theoretical results. From the data of Table 6 , the value of the contact length is estimated as l theor c ¼ 0:45 mm for V ¼ 16 ms À1 and t 1 ¼ 0:25mm. The ratio l exp c =t 1 ¼ 2:07 obtained experimentally is in good agreement with l theor c =t 1 ¼ 1:80. Fig. 17a reveals the same trends as those of Fig. 9a for m ap , i.e. the contact length becomes weakly dependent upon the values of m for mZ0.4and is nearly independent of V at large cutting speeds. It is referred to Section 5.1 for the discussion of the physical mechanisms underlying these features.
Different analytical models or empirical approaches have been proposed to evaluate l c . It is worth to compare these models to the results of the numerical calculations. Using the slip line theory, Lee and Shaffer [33] obtained the following result: Fig. 4 that the transition from sliding contact to sticking happens at about V ¼ 8ms À1 . Thus, for V 48ms À1 the value of l c is close to that obtained for m40.4. Same evolutions as for l c were observed for m in Fig. 3 and for m ap in Fig. 9a. (b) Comparison of the normalized contact length obtained by the Finite Element calculations reported in Table 4 (R¼ 15 mm) to the analytical results given by Eq. (24) (triangles) and by Eq. (21) (crosses). The value x A ¼ 0:5 of the stress exponent was adopted in Eq. (24) . (c) Comparison of the normalized contact length obtained by the Finite Element calculations reported in where the shear angle is given by tanðfÞ ¼ ðt 1 =t 2 Þ. The chip thickness t 2 is defined in Fig. 1b . Empirical formulations for l c were given by Abuladze [34] , Poletika [35] , and Marinov [36] . Of note is the simple relationship proposed by Toropov and Ko [37] and Kato et al. [38] :
The contact length can be also evaluated by considering the equilibrium with respect to the tool tip of the moment of the contact forces exerted on a given chip-domain. It is useful here to define the angles f A and f n shown in Fig. 1b . The transition between the horizontal free surface of the workpiece and the chip is insured by a small curved line. Near this transition zone, the free surface of the chip can generally be represented by a straight segment. The extension of this segment intercepts at I 1 the horizontal line associated to the workpiece surface, see Fig. 1b . A more detailed characterization of I 1 is found in Fig. 24 of Appendix C. The segment I 1 A which is tangent to the tool tip at A is considered. The inclination angles of I 1 A and of I 1 I with respect to horizontal are, respectively, denoted as f A and f n . Intersections of I 1 A and of I 1 I with the free surface are denoted, respectively, as B A and B n . The points B A and B n are different in general, but the resolution of Fig. 1b does not allow us to represent them as distinct points.
Let us consider the chip domain D 1 delimitated by the contour JII 1 B Ã CC'J including the segment IB Ã with inclination angle f n , see Consider first the domain D 1 . The normal and tangential forces exerted on IJ are F n (rake) and F t (rake). The mean friction coefficient associated to the contact zone IJ is m ¼ F t ðrakeÞ=F n ðrakeÞ. Considering that the moment at I of the external forces exerted on the domain D 1 vanishes, it follows in a way similar to [28] that
l is the friction angle defined by m ¼ tanðlÞ. To derive this result, it has been assumed that (i) the normal stress distribution along IJ is given by Eq. (11) , where x is the stress exponent and (ii) the normal stress distribution along the segment IB Ã is uniform. If the domain D 2 is selected, the resultant force exerted on the boundary AJ of the tool is equal to the cutting force F ¼ ÀF C e Y þ F T e X , in first approximation, if the point A is considered to be far enough on the right of the tool edge, see Fig. 1b , so that most of the tool edge is encompassed in the domain D 2 . The following result is derived in Appendix D:
f A is the inclination angle of the plane AI 1 and l ap ¼ arctanðm ap Þis the apparent friction angle. In Fig. 17b , the predictions of l c /t 1 given by Eq. (24) are displayed versus the values of l c /t 1 obtained numerically, considering all the tests reported in Table 4 . Values of f A , m ap used in Eq. (24) are given in Table 4 . The same stress exponent x A ¼ 0:5was taken for all tests.
Results given by law (21) of Lee and Shaffer [33] are also shown. It appears that the estimates obtained from relationship (24) are in good correlation with numerical results (triangular symbols are close to the bisector line). Relationship (21) predicts correct trends but there is a significant gap with respect to numerical results. Results of models [34] [35] [36] are not shown here as they provide results close to those obtained with law (21) . It must be noted that all the models [33] [34] [35] [36] consider that l c /t 1 is sole function of the shear angle f and of the rake angle a. However, relationships (23) and provide results similar to those of Fig. 17b with however a slight decrease of the quality of results.
Finally the analytical results corresponding to the model (23) are represented in Fig. 17c for all the tests reported in Table 4 (R ¼0.015 mm). The stress exponent is x¼0.25, a value smaller than x A ¼0.5used for model (24) . This is in keeping with the fact that a stress-peak was observed in our simulations at the rounded edge of the tool. The value x¼0.25 used in Eq. (23) refers to the stress distribution along the flat rake face, line IJ in Fig. 1b , which excludes the stress-peak existing at the tool tip. A small value of the stress exponent x corresponds to a flat stress profile. It should be mentioned that the parameter x enters into the results through the term x+2. Thus, the value of l c would be decreased by only about 12% by setting x¼0 in place of x¼0.25. Therefore, for relatively flat stress profiles the results are not much affected by the precise value of x.
In the range of high cutting speeds and for mZ0.4, it is observed in Fig. 17a that l c =t 1 % 1:9. This value is quite close to those of the model proposed by Toropov and Ko [37] and Kato et al. [38] , Eq. (22) .
On the practical point of view, relationship (24) is easier to use than Eq. (23) since the value of m ap is directly accessible from experiments. The effect of the tool edge radius is quantified in Fig. 17d where the evolution of l c /t 1 is reported in terms of the cutting speed for two values of R (15 and 30 mm). The effect of R appears to be relatively weak when comparing numerical results. Analytical results obtained by using relationship (23) are also shown. As in Fig. 17c , the value of the stress exponent (characterizing the stress distribution along the rake face IJ) is taken to be x¼0.25. However, for R¼30 mm the stress distribution is expected to be flatter than for R¼ 15 mm. The stress exponent for the larger radius should be lower than x¼0.25. To quantify the effect of a lower stress exponent, results associated to x¼0 and R¼30 mm are reported in Fig. 17d . As remarked before, for low values of the stress exponent, the precise value of x does not change much the results.
The weak effect of R on l c could be expected from the examination of relationship (23) and the fact that m is slightly sensitive to R, see Fig. 11a . On the contrary, m ap (and x A ) is more dependent upon R, Fig. 11a . Therefore, the right hand side of Eq. (24) is affected by R. However, R is also present in the left hand side of Eq. (24) in a way that insures the consistency of the results with those of Eq. (23).
Contact forces
Contact forces exerted onto the tool are important global characteristics that embody the resistance of the work material to plastic flow and the tribological properties of the tool-chip interface. The link between the cutting and thrust forces and contact conditions is analyzed by numerical and analytical means. A similar investigation is also carried out for the contact forces exerted on the flat part of the tool face (round edge excluded).
Cutting and thrust forces
The evolution of the cutting force F C and of the thrust (feed) force F T is represented in Fig. 18a and b in terms of the cutting speed V for various values of the sliding friction coefficient 0 rmr1. Cutting conditions are those of Table 4 , i.e. the rake angle, the feed and the tool edge radius are, respectively, a¼0, t 1 ¼ 0:1 mm and R¼15 mm.
The general trends concerning the variation of F C with respect to the cutting speed and m are similar to those of l c shown in Fig. 17a .
As expected, for a given value of V the cutting and thrust forces are increasing with the friction coefficient m. For a fixed value of m, the cutting and thrust forces are decreasing functions of V. The drop of the forces is negligible for low friction coefficient and is about 55% for m¼1. For the medium carbon 42CrMo4 steel the theoretical predictions of F C and F T with m¼0.8 were shown in Fig. 2 to be in good correlation with experimental measurements.
The level of the cutting and thrust forces is the result of the interplay between the material response within the primary shear zone (where the chip is formed) and the behavior of the tool-chip interface. The evolution of the cutting and thrust forces in terms of V are similar to those of m ap for large values of the sliding friction coefficient. However it is not exactly so for mr0.4, since m ap is slightly increasing for small values of the cutting speed, while the cutting force decreases.
In the analytical modeling of cutting, it is useful to refer to the relationship between the cutting forces and the overall friction coefficient m ap . As in the Merchant's analysis [7] , we consider the equilibrium of the forces exerted on the chip domain above the segment AB A (domain D 2 introduced in Section 8), see Fig. 1b . The cutting and feed forces are obtained as
The mean shear flow stress along AB A is taken as the mean shear flow stress t PZ within the primary shear zone. The apparent friction angle l ap accounts for the global response of the tool-chip interface. Relationships (25)-(26) are only first approximations of the cutting force components since solely the portion AJ of the toolchip contact is comprised in the domain D 2 (clearance contact excluded).
In Fig. 18c and d the cutting and feed forces obtained with Finite Element calculations are compared to the values resulting from the analytical relationships (25) and (26) . In Eqs. (25) and (26) Table 4 . (c) Numerical values of F C given in Table 4 The direct effect of m ap on F C is quantified in Fig. 19b . The upper curve (crosses) represents the variation of F C when m ap is maintained in Eq. (25) at the constant value m ap ¼ 0:747 corresponding to V ¼ 1ms À1 . f A varies according to the values reported in Table 4 .
Similarly, the lower curve is associated to m ap ¼ 0:333 corresponding to V ¼ 50ms À1 . From these results it is clear that the variation of F C with V is mostly controlled by f A .
From the examination of the results reported in Table 4 , it appears that t PZ is weakly sensitive to cutting conditions. Therefore, the cutting force F C and the thrust force are just slightly affected by the variation of t PZ due to cutting conditions.
Forces exerted on the tool rake face
The normal and tangential components of the force exerted by the chip on the tool rake face IJ (see Fig. 1b ) can be calculated by considering the equilibrium of external forces applied on the boundaries of the chip domain D 1 introduced in Section 8 (domain above the line IB Ã ). The following result is obtained:
It is worth noticing that the uncut chip thickness t 1 which appeared in Eqs. (25)-(26) is replaced in relationships (27)-(28) by t 1 À R. This is related to the fact that the bottom of D 2 is A (vertical distance to the workpiece free-surface nearly equal to t 1 ) while the bottom of domain D 1 is J (vertical distance to the workpiece free surface is equal to t 1 À R).
The evolutions of F n (rake) and of F t (rake) in terms of the cutting speed are displayed in Fig. 20 for m¼0.2 and 0.8 and the cutting conditions associated to Table 4 . The results obtained from Eqs.
(27)- (28) , with values of t PZ , f Ã and l given by Table 4 , are found to be in excellent agreement with Finite Element calculations of F n (rake) and of F t (rake). Using the shear angle f ¼ arctanðt 1 =t 2 Þ in place of f Ã in Eqs. (27)-(28) would lead to similar results but with lower quality (represented by crosses in Fig. 20 ).
It should be mentioned that t PZ in Eqs. (25) and (26) corresponds to the mean shear stress exerted on the segment AB A while t PZ in Eqs. (27) and (28) is related to IB n . However, the same value of t PZ (given in Table 4 ) has been used in all calculations. This point is justified in Appendix E.
Effect of the Taylor-Quinney coefficient
The effect on F C of the Taylor-Quinney coefficient b (conversion of plastic work into heat) is quantified in Fig. 21 . The evolution of the cutting force F C with respect to the cutting speed is reported in In particular, the cutting force F C is a decreasing function of b for a fixed value of the cutting speed. However, contrarily to m ap or m, the forces F C and F T remain significantly affected by b at low cutting speeds. Results are shown in Table 8 for the low cutting speed V ¼ 2ms À1 and m¼0.6. It is worth observing that both t SZ (characterizing the material resistance to flow) and the apparent friction coefficient m ap appear to be weakly affected by b. Thus, according to Eqs. (25)-(26) the dependence of F c and F T upon b should solely result from the variation of the shear angle f A (101 for b¼0.6; 13.31 for b¼0.9).
Conclusions
For the modeling of machining processes, it is essential to characterize local fields and global variables and to analyze their interactions. Two robust and independent approaches have been used in that purpose. The first is purely numerical and based on an Arbitrary Lagrangian Eulerian Finite Element model. The second is grounded on analytical means. A parallel was systematically drawn between these approaches in such a way that numerical data became more meaningful as they could be put in relation to conceptual models of the phenomena studied. The overall friction properties characterizing the tool-chip contact in orthogonal cutting, have been studied. The global response of the tool rake face was described by a mean friction coefficient m while the response of the tool-chip interface in its totality (including the tool edge and the clearance contact) was represented by the apparent friction coefficient m ap .
A simple formulation of contact based on the Coulomb friction law and a constant sliding friction coefficient was used in this work. Nevertheless, numerical results have shown that the sliding and sticking contact regimes could be well described within this framework. Along the sticking zone, the shear stress was found to be equal to the shear flow stress of the work material. Interesting correlations were observed with respect to experimental features. The softening of overall friction coefficients with the cutting speed was found to reproduce accurately the experimental trends for the steel (workmaterial) and the carbide tools considered here. The effect of the feed on the overall friction response was also well accounted for.
The overall friction characteristics appeared to be the result of the combined effects of sliding and sticking contact. Sticking occurs in the vicinity of the tool tip and is controlled by the magnitude of the shear flow stress of the work material which is itself governed by the chip temperature at the tool rake face. When the cutting speed was increased, a transition was found from a sliding regime towards a sticking dominated contact.
For high values of the sliding friction coefficient m, sticking dominates the overall response of the tool-chip interface for the whole range of cutting speeds considered here (1 ms À1 r V r 50 ms À1 ). Then, the decay of m ap and m is solely due to thermal softening of the work material in the sticking zone and the effect of m is wiped out as soon as contact is dominated by sticking. (a) Normal force F n (rake) and (b) tangential force F t (rake) exerted on the tool rake-face IJ (see Fig. 1b ) versus cutting speed for low and high values of sliding friction, resp. m¼0.2 and 0.8. Cutting conditions are those of Table 4 . Numerical values of F n (rake) and F t (rake) are taken from Table 4 and are compared to analytical results provided by resp. Eqs. (27) and (28) .
For small values of m, the quantities m ap and m are weakly dependent upon V since sticking is negligible and thereby thermal softening of the bulk material has no effect on overall friction characteristics. When contact is dominated by sticking, it appeared possible to formulate a law describing the dependence of the mean friction coefficient m with respect to the main factors controlling its evolution (shear flow stress of the work material, average normal stress, sticking length ratio). Essentially, m appeared as the ratio of the shear flow stress by the averaged normal stress. The difference between m and the apparent friction coefficient m ap results from the effect of the tool edge-radius R. The effects of R and of the uncut chip thickness on m ap Àm have been quantified. Finally, it was shown that the evolutions of m ap and of m in terms of cutting conditions (cutting speed and uncut chip thickness, the rake angle was taken as zero) could be represented with phenomenological constitutive laws depending solely on a characteristic temperature of the chip at the tool rake face.
Having a better perception of the relationship between global friction characteristics and local variables has not only a theoretical interest but offers also important practical implications. Firstly, it should be noted that only global friction characteristics are directly accessible from orthogonal cutting experiments. Knowing the relationship between the local value m of the sliding friction coefficient and global friction characteristics is helpful for deducing the value of m, see [39] . In that perspective, it was important to clarify the effects of the cutting speed, feed, tool edge radius and m on global friction characteristics.
Another prospect is provided by the development of analytical models of metal cutting processes. This aspect offers interesting perspectives for the present research work. A central issue for the calculation of cutting and thrust forces, contact length and shear angle is related to the capability of describing the global frictional response of the tool-chip interface which is a salient aspect of this work.
Tool-chip contact length and contact forces exerted onto the tool were also characterized by numerical and analytical means and compared to experimental data. In particular, it was investigated how the contact length between tool and chip is correlated to global friction, shear angle, uncut chip thickness and to the profile of the normal stress on the tool-chip interface.
In the present work, the sliding friction coefficient was supposed to be constant i.e. to be independent from cutting conditions. Despite this simplifying assumption, it appeared that many experimental features could be well described for the work material considered here (medium carbon steel 42CrMo4). However, there are some experimental evidences that the sliding friction coefficient might be influenced in certain cases by contact conditions (sliding velocity, contact pressure, contact temperature) [40] [41] . The functional dependence of the sliding friction coefficient with respect to contact conditions and the implications in the modeling of machining are the object of a current work.
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Appendix B. Characterization of the stress exponent n
The stress distribution along the rake face 0 r x rl c is represented in Fig. 23 for cutting conditions of Table 4 and m¼0.8, V ¼ 8ms À1 . The distribution given by Eq. (11) (dashed line) is compared to Finite Element calculations (solid line). The stress exponent in Eq. (11) is characterized as x¼0.23 and the scaling factor has the value s 0 ¼ 1150MPa. The correspondence between numerical data and Eq. (11) is rather good along 66% of the contact length and appears to be less accurate in the last part of the contact. However, Eq. (11) is mainly used for calculating force moments with respect to the tool tip or stress average along the contact length. The representation given by Eq. (11) appears to be sufficient for that purpose. 
